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ABSTRACT
Different research groups have recently tested scaled flo-

ating offshore wind turbines including blade pitch control. A
test conducted by the University of Stuttgart (Germany), DTU
(Denmark) and CENER (Spain) at the Danish Hydraulic In-
stitute (DHI) in 2016 successfully demonstrated a real-time
blade pitch controller on the public 10 MW TripleSpar semi-
submersible concept at a scale of 1/60. In the presented work
a reduced-order simulation model including control is compa-
red against the model tests. The model has only five degrees of
freedom and is formulated either in the time-domain or in the
frequency-domain. In a first step the Morison drag coefficients
are identified from decay tests as well as irregular wave cases.
The identified drag coefficients depend clearly on the sea state,
with the highest ones for the decay tests and small sea states.
This is an important finding, for example for the design of a
robust controller, which depends on the system damping. It is
shown that the simplified model can well represent the dominant
physical effects of the coupled system with a substantially redu-
ced simulation time, compared to state-of-the-art models.

INTRODUCTION
Experimental testing has become especially important for

Floating Offshore Wind Turbines (FOWTs) due to the additio-
nal dynamics from the floating substructure, mooring lines and
wave forces. In the first place, model tests had the objective to

validate software tools in general. But when the technological
development advanced with the first tests in a realistic environ-
ment, model tests also helped to reduce the risk associated with
the deployment of a prototype. An overview on a large num-
ber of past test campaigns can be found in [1]. The experience
of these experiments has shown that scaled testing of FOWTs is
challenging due to the multidisciplinary environment with aero-
dynamics, hydrodynamics, structural dynamics and servo (wind
turbine control system) dynamics. One part of the present test fo-
cused on the replacement of the rotor and aerodynamics through
an actuator. With this Hardware-In-the-Loop (HiL) approach a
fan at the tower-top produces the equivalent thrust force based
on a real-time simulation model, see [2]. The other part, which
is the focus of this paper, used a wind generator system in the
basin and a re-designed rotor for low Reynolds numbers.

The objective of the present campaign by the University
of Stuttgart (Germany), DTU (Denmark) and CENER (Spain)
in 2016 was to test the INNWIND.EU public floater, [3] with
the DTU 10 MW reference wind turbine (RWT), [4], including
blade pitch control. First results have been published already
in [5] and [6]. A study with the same wind turbine and a higher-
fidelity model was shown in [7]. A common methodology in ot-
her FOWT experiments was to maintain the rotor speed through
a servo, actuating the torque. However, this servo controller was
usually tuned aggressively to keep the rotor speed almost con-
stant, see e.g. [8]. The blade-pitch angle is then constant with
this methodology.
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Recently, a number of researchers has taken the step to in-
clude the control system in scaled model tests after a first attempt
had been made for the Hywind concept, see [9]. Tests at the Ma-
rine Research Institute of the Netherlands (MARIN) with diffe-
rent PI-controllers were presented in [10], assessing the control-
ler influence on the response. Another test in the same basin was
presented in [11]. An H∞ controller was experimentally studied
by Osaka Prefecture University, Japan, see [12].

Floater concept
Within the project INNWIND.EU a platform design compe-

tition among the project partners resulted in three different con-
cepts, described in [13]. For the one, whose design began at
the University of Stuttgart, a detailed design was done by CE-
NER and the National Technical University of Athens (NTUA)
towards the end of the project, see [14]. The mooring system
design was a joint work by the University of Stuttgart and DTU.
The concept is described in [3], it is public and a FAST model can
be downloaded1. Figure 1 shows a sketch of the scaled FOWT: It
is a deep-drafted semi-submersible with the prospect of combi-
ning the advantages of a spar with those of a semi-submersible.
Thus, the draft is, with less than 60 m, less than the one of typical
spar platforms and still, the material cost is reduced through sim-
ple cylindrical shapes, which can be made out of concrete. The
properties of the TripleSpar concept are summarized in Table 1.

Scaling and test setup
The platform was built at the University of Stuttgart in

a scale of λ = 1/60 and assembled with a turbine model of
the DTU 10 MW RWT, built at DTU, see Figure 2. The scaling
laws applied follow Froude-scaling, see e.g. [15] and [16] (speci-
fic to FOWTs). Keeping a constant Froude number Fr = v/

√
gD

with velocity v, gravity constant g and characteristic diameter D
results in forces scaled with λ 3 and a frequency scaled with λ−

1
2 .

Thus, smaller simulation timesteps and a higher sampling rate
for sensors, processors, communication interfaces, etc. are ne-
cessary in model scale. Important additional dimensional num-
bers are the Keulegan-Carpenter number KC and the Reynolds
number Re. While KC, important for hydrodynamic forcing, is
maintained for the scaled system, Re is not. A method to mi-
tigate the resulting mismatch of aerodynamic forcing has been
to re-design the rotor, such that it is specifically suitable for low
Reynolds numbers. The first tests done in the FOWT community
addressing the scaling of aerodynamic forces were the DeepC-
wind tests, [17] and [18]. A comparison of experimental results
to different simulation methods in the ongoing OC5 project can
be found in [19].

The properties of the components of the present test setup
were verified and identified with different methods. For the ro-

1http://www.ifb.uni-stuttgart.de/windenergie/downloads

FIGURE 1: Scaled model of INNWIND.EU TripleSpar concept
with DTU10 MW wind turbine.

tor, a Blade Element Momentum Theory (BEM) model was set
up with the polars calculated by DTU [7] and the torque and
thrust for different Tip-Speed Ratios (TSR) compared to the mea-
surements, as shown in [6]. The tower structural properties were
determined for a fixed configuration already for a previous test
by DTU, see [7]. For the present configuration, this value was
updated through an impulse response measurement of the tower-
top on the floating platform. The mass properties of the platform
were calculated in detail via a parametric CAD model with the
trimmed and final ballast configuration.

A measurement of the wind field without the turbine was
made with a hot wire on a pulley system, see [5]. Due to a
misplaced fan on the top of the wind generator array a higher
wind speed could be measured at lower levels, creating an inverse
shear. This might have an effect on the presented results. The tur-
bulence intensity was measured also in [5]. In the simulations,
a constant, uniform wind speed was used. The optical motion
tracking system was set to update the reference position every
day to the actual position of the Center of Flotation (CF). The
presented results, however, show the displacements with respect
to the global coordinate system, fixed to the basin. The wave ge-
nerator was calibrated with numerous wave gauges, see [5]. The
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FIGURE 2: TripleSpar test setup at DHI 2016 in combined wind and wave tank.

highest uncertainty in the model parameters is likely the anchor
position, also due to the high sensitivity of the mooring forces
with respect to the position of the anchor. The wind genera-
tor produces an open jet, which implies an uncertainty about the
velocity field in the rotor plane with blockage effects. This was
studied in [20]. The hardware of the feedback controller inclu-
ding encoder and actuator has been thoroughly tested. However,
the time lags or additional dynamics associated to the control sy-
stem are not represented in the simulation model.

The environmental conditions for the test are shown in Ta-
ble 2. Although a large range of sea states (and corresponding
load cases (LCs)) has been defined only the higher-wave conditi-
ons are used in the following because of a limited response of the
system to small waves. Due to splash water interruptions in the
measured position signals occurred for LC 9. A large number of
tests was performed also for regular waves, focused waves and
misaligned waves. Therefore, the number of repetitions had to
be limited in some cases.

REDUCED-ORDER SIMULATION MODEL
The employed model is based on a flexible multibody for-

mulation with rigid and flexible bodies. The equations of motion
are set up symbolically, depending on the definition of symbolic
position vectors as a function of generalized coordinates, and ex-
ported to C for a fast model execution. In this work, the equations
of motion have been set up for five DOFs in 2D: Four rigid DOFs
as platform surge xp, platform heave zp, platform pitch βp, rotor

azimuth ϕ and the elastic tower-top fore-aft deformation xtwr gi-
ving the generalized coordinates

q = [xp, zp, βp, ϕ, xtwr]
T . (1)

For a state-space description the state vector x results with the
rotor speed Ω as

x =
[
xp, zp, βp, ϕ, xtwr, ẋp, żp, β̇p, Ω, ẋtwr

]T
. (2)

These DOFs are selected in order to reduce the system to the
most important dynamics, which are critical for conceptual de-
sign and control. Therefore, side-side dynamics (and every mo-
tion in lateral direction) are neglected, which is a consequence of
the assumption that the design-driving loads act in the plane of
the prevailing wind direction. The rigid bodies are the platform,
nacelle and the rotor and the only elastic body is the tower. For
a simplification of the tuning with the experiments the tower is
modeled as a rigid body with a spring-damper coupling to the
nacelle and not as a beam with distributed structural properties.
The individual rotor blades are not included in this model but the
rotor is modeled as a rigid disk. This method neglects the cou-
pling of flapwise blade dynamics with the tower modes. These
simplifications accelerate the model execution significantly and
allow for a clear view on the main system dynamics.

Aerodynamic forces are calculated using the aerodynamic
rotor coefficients, namely the power and thrust coefficient, which
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full model
scale scale

Platform draft [m] 54.5 0.9

Platform column diameter [m] 15.0 0.25

Platform column
26.0 0.43spacing (to centerline) [m]

Platform mass [kg] 2.8×107 127.4

Platform mass moment of

1.9×1010 32.25inertia about hor. axis
@SWL [kgm2]

Platform added mass moment of

1.1×1010 16.29inertia about hor. axis
@SWL [kgm2]

Number of mooring lines [-] 3

Water depth [m] 180.0 3.0

Mooring line length [m] 610.0 9.95

Turbine mass [kg] 1.1×106 5.7

Rated rotor speed [rpm] 9.6 74.4

Rated wind speed [m/s] 11.4 1.5

TABLE 1: INNWIND.EU TripleSpar platform and DTU10 MW
wind turbine full scale and model parameters.

TABLE 2: LCs defined for irregular wave tests.

Model scale Full scale

LC Hs Tp v̄ Hs Tp v̄
[m] [s] [m/s] [m] [s] [m/s]

7 0.09 1.08 1.89 5.46 8.37 14.6

9 0.16 1.43 1.89 9.54 11.1 14.6

are generated using BEM theory for various TSR and blade pitch
angles θ . The aerodynamic damping is accounted for by calcu-
lating the relative rotor-effective wind speed. The three catenary
mooring lines are represented by a nonlinear quasi-static model,
which is based on the mooring line formulation of FAST v7,
see [21]. It gives, for each mooring line, the horizontal and ver-
tical forces on the platform depending on its position. For the
linearization a perturbation analysis is done at the respective ope-
rating point resulting in a 6×6 stiffness matrix.

First-order hydrodynamics include the panel code force
transfer function and a simplification of the radiation problem:

A constant added-mass is assumed in all considered directions,
interpolated at the eigenfrequency of the respective DOF of the
frequency-dependent panel code results. Further, there is no ra-
diation damping included, neither in the time-domain, nor in
the frequency-domain model. It was found that this simplifi-
cation yields substantial advantages in terms of computational
efficiency with small differences in the response, mainly in the
frequency range of the waves, depending on the floater shape.

Second-order hydrodynamics were included to account for
the large response at the floater eigenfrequencies, below the wave
frequencies. The same behavior, with low-frequency resonances,
was also found in previous studies, like [8]. The forces result
from a quadratic potential flow model at the difference-frequency
of a bi-chromatic wave train, see [22]. Newman’s approxima-
tion [23] is used here, which allows an efficient calculation of the
low-frequency forces. It requires only the mean drift coefficients,
which are the diagonal of the quadratic transfer function (QTF).
The forces result from a single inverse Fourier transform, instead
of a double one for the full difference-frequency calculation.

The CPU time of the nonlinear model is 1/120 of the si-
mulated time on a 2.5 GHz processor and the frequency-domain
model is even faster as it only needs matrix-algebraic operati-
ons. This number excludes the necessary pre-processing of the
aerodynamic rotor coefficients, the hydrodynamic coefficients,
the symbolic equations of motion (only once for the TripleSpar
platform) and the wave forces (for each load case). More infor-
mation on the model can be found in [24]. A comprehensive
publication of the physical assumptions, experimental and code-
to-code comparisons is under preparation.

TESTED CONTROLLER
The rotor speed controller used in the following tests was

designed in [6], following a method proposed in [25]. The gain
scheduling of the proportional gain kp, shown in Figure 3, to-
gether with the steady-state blade pitch angles, Figure 4, ensures
a stable system for all operating points with a fixed time con-
stant Ti = 2.9s for all wind speeds. This method accounts for
the negative damping of FOWTs, due to the zero with positive
real part in the dynamics from blade pitch angle θ to the rotor
speed Ω. The shape of the gain scheduling function resembles
the one of the corresponding full-scale controller, see [3] with
decreasing values for wind speeds above rated and increasing
values for higher wind speeds, close to cut-out. This is due to the
fact that the system is more stable towards higher wind speeds
and thus the controller can be tuned more aggressively towards
cut-out.

MODEL VALIDATION
The first part of this section addresses the identification of

the Morison drag coefficients CD for the columns and CD,hp for
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FIGURE 4: Steady state blade pitch angles θ over wind
speeds v0.

the heave plates with free-decay tests but also irregular wave ca-
ses with wind excitation and active blade pitch control. Thus,
the hydrodynamic drag identification is in the latter case done
with the full coupled system including aerodynamics. The se-
cond part of the section addresses additionally the rotor rotor
speed and blade pitch angle with a comparison of the nonlinear
time-domain model against the linear frequency-domain model.

TABLE 3: Coupled system eigenfrequencies.

DOF Surge Heave Pitch Tower

Eigenfrequency [Hz] 0.05 0.469 0.275 3.23

Hydrodynamic drag identification
Several methods to identify both Morison coefficients CD

and CA are proposed in [15, p. 12-9]. However, these are par-
ticularly adapted to the times of little computational resources
when full simulations of the experiments where not yet possi-
ble. Here we focus on the drag identification (CD) and rely on
the added mass computed by the panel code. A thorough tuning
for a low-drafted semi-submersible for a FOWT was presented
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FIGURE 5: Free decay in surge and pitch directions and experi-
ment (dashed line).

in [26]. Here, we will in a first step analyze free decay tests
in surge xp and pitch βp. The drag coefficients resulting from
such a free-decay identification were used in the OC5 phase II
study [27] for all load cases. In this work, the drag is identi-
fied for each load case individually, which is justified through
the varying Re and KC numbers, depending on the environmen-
tal conditions and the system response. With irregular waves
the Morison coefficient CD (columns) influences most the surge
response while CD,hp (heave plates) influences more the heave
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FIGURE 6: Response to wind and waves, LC 9 (Table 2) with simulations of various combinations of CD and CD,hp and experiment (das-
hed). See following graphs for detailed views.

and pitch response. Figure 5 shows simulations of various CD
for the surge-decay on top and of various CD,hp for the pitch-
decay below. The best agreement for both cases is with CD = 2.0
and CD,hp = 25.0.

In a next step, the drag is identified in irregular wave tests:
Figure 6 shows the power spectral density (PSD) of the measu-
red and simulated response for different combinations of both,
the Morison drag coefficient CD of the TripleSpar columns and
the heave plate drag CD,hp for LC 9. The shown sensors are the
wave height ζ0, the platform heave zp, surge xp and pitch βp and
the upwind mooring line force Fline1 (to the right looking up-
wind, at 60 deg) and tower-top acceleration ẍt . Note that ẍt is
the acceleration measured by the accelerometer and thus in the
inertial frame, not relative to the tower base, as xtwr of Eq. 2.
Therefore, ẍt is obtained from the simulation model through a
transformation of ẋ. On top of Figure 6 the peak spectral wave
frequency at around 0.8 Hz is clearly visible. In this range the
platform damping is of no effect as the waves yield a forced re-
sponse at frequencies distant from the system eigenfrequencies.
The velocity-dependent Morison excitation force term, however,
can be of importance for platforms with larger KC numbers (e.g.
smaller diameters). This was shown for the drag tuning in [26].
Here, the inertia forces of Morison’s equation showed to be do-
minant with little velocity-dependent excitation.

At the wave frequencies the response magnitude in surge
and pitch is small, for measurements and simulations. A gre-
ater response can be seen for platform-DOFs below the wave

frequencies, at the platform surge, heave and pitch eigenfre-
quencies, listed in Table 3. At these frequencies, the wave
height spectrum (ζ0) is zero, so the excitation results from either
second-order slow drift loads, as introduced in the modeling
section, or the aerodynamic excitation. In a previous study [8],
it was found that the contribution from the difference-frequency
forcing is dominant over the one from aerodynamic forcing. It
can be seen in Figure 6 that the response magnitudes at the ei-
genfrequencies depend significantly on the Morison drag coeffi-
cients (different colors).

Therefore, the focus will be on the frequency range below
the wave spectrum for the identification of the Morison drag
coefficients. In the following the irregular wave and wind re-
sponse to the severest conditions, LC 9, will be shown. Fi-
gure 7 shows the variation of CD while Figure 8 shows the cor-
responding variation of CD,hp with constant CD. From Figure 7
it can be seen that the surge response for CD = 0.4 gives the best
agreement with the measurements. Since for FOWTs the heave
response is not as important as the pitch response, the focus is
put on the pitch-direction. With a heave plate drag of CD,hp = 10
the best agreement with the pitch-response (βp) can be achieved.

The simulated response of the tower at the pitch eigenfre-
quency does not match as well as for the wave response. As
mentioned above, a main difference between the two response
peaks is that for the surge and pitch resonances damping is im-
portant, while it is not for the wave response. Consequently, a
difference in the aerodynamic damping or the tower structural
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FIGURE 7: Response to wind and waves, LC 9 (Table 2) with simulations of Morison drag CD = [0.2,0.4,0.6] (increasing darkness),
CD,hp = 10 and experiment (dashed line).

damping could lead to the underpredicted surge and pitch reso-
nance. It is noted that, although the eigenmode is labeled “pitch”
in Table 3, this mode does also include a response of the tower-
DOF xtwr. The mooring line force is always underpredicted by
the model in the resonance frequencies (surge and pitch) but also
in the wave frequency range. The reason for this is possibly the
quasi-static modeling approach. If a mooring line mode lies close
to the platform resonances the dynamic forces can be signifi-
cantly higher, see also [19]. Works are ongoing related to the
sensitivity of the results on the mooring line model fidelity.

A remarkable effect is that the pitch eigenfrequency chan-
ges compared to the free-decay test. The x-axis labels in Fi-
gure 8 correspond to the pitch eigenfrequency of the decay test,
Figure 5. In Figures 7–8 both, the simulated and measured re-
sponse have a lower pitch resonance, although the simulated re-
sponse is slightly smaller than the measured one. This is due to
the coupling with the controller dynamics, which were not active
in the free-decay test.

The different drag values CD and CD,hp, were so far iden-
tified for decay tests and LC 9. The collection of drag coeffi-
cients in Table 4 includes also the less severe irregular wave test
of LC 7. It can be seen that the drag is highest for the decay
tests and decreases with the severity of the sea state or the mag-
nitude of the response. It suggests that it is difficult to identify
drag coefficients in general. As the drag depends strongly on the
state of the flow surrounding the members a LC-dependent drag
is necessary. This is in line with the findings of [26], who could

well identify the drag for irregular sea states but found a misma-
tch of the simulation results when applying the obtained drag to
wind-only cases.

The drag coefficients of Table 4 were compared with lite-
rature data: In [28] experimentally determined drag coefficients
for thin heave plates are given as a function of KC. The values
for CD,hp, as well as their trend over KC, is close to the values of
Table 4. The column drag of CD = 0.4 is below the one defined
in [29] for smooth cylinders.

TABLE 4: Identified Morison drag coefficients.

Load case Morison drag CD Heave plate drag CD,hp

Free decay 2.0 25.0

LC 7 0.6 20.0

LC 9 0.4 10.0

With the obtained drag coefficients and a reasonable
agreement of the platform signals the full system response in-
cluding the rotor signals will be compared to the nonlinear and
the linearized simulation model.
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Full system response
The previous section addressed already results of the full

operating, blade-pitch controlled FOWT with wind and wave ex-
citation. In this section, a comparison between the nonlinear and
the linear simulation model in the less severe LC 7 is shown. Fi-
gure 9 shows the response of the rotor speed signal Ω and the
blade pitch angle θ of the nonlinear and the linearized model.
The frequency-domain model agrees very well with the nonlinear
model suggesting that the response is still in the linear range in
these environmental conditions. The agreement is equally good
in the more severe LC 9 (not shown). The fact that the simplified
simulation models can predict the main system characteristics
of the FOWT confirms that few physical effects drive the dyn-
amic response, while several others can be neglected in many
states of operation and environmental loading conditions. One
effect, which drives the computational efficiency is the radiation
memory effect. It is neglected in both, the frequency-domain
and the time-domain model with a zero radiation damping and a
frequency-independent added mass, interpolated at the eigenfre-
quencies.

For the previously analyzed signals surge, heave and pitch,
the agreement is good, also at the smaller magnitudes, visible in
the logarithmic y-scale. The rotor speed and blade pitch signal is
underpredicted by the simulation models at the wave frequencies.
The reason for this is not known exactly. Two possible reasons
are the wind and the aerodynamic simulation model and the dri-
vetrain model. In this work, the wind is assumed to be constant

and without shear. Thus, no turbulence and azimuth-dependent
forcing is considered. In the experiment, the generated wind field
could lead to an additional excitation, not represented in the si-
mulation model. The aerodynamic forces, based on the wind sig-
nal, are assumed to be quasi-static. Research on unsteady aero-
dynamics for FOWTs was recently presented in [30], suggesting
a necessary refinement of the aerodynamic model. As another
possible explanation the drivetrain could have a combination of
static and viscous friction and damping, which is not represented
in the numerical model. This could yield a larger response of the
rotor to wave-induced hub motion in the tests.

CONCLUSIONS
A reduced-order model was compared to wind-and-wave

tank experiments of a floating offshore wind turbine model in
a scale of 1/60. As a first step, the experimental data was used to
tune the drag coefficients for the three vertical columns of the Tri-
pleSpar floater, as well as for the heave plates at their lower ends.
The drag identification showed an important dependence of the
hydrodynamic drag coefficients on the response magnitude. Due
to the strong coupling of the platform pitch mode and the rotor
mode, this damping is important for the prediction of load and
motion response ranges but also for a robust tuning of the wind
turbine controller. The reduced-order model in the time-domain
as well as in the frequency-domain formulation can model the
main dynamics seen in the experiments. The response to irre-
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FIGURE 9: Response to wind and waves, LC 7 (Table 2) with nonlinear model (red) and linear model frequency-domain model (grey);
note log-scale on y-axis.

gular waves and wind including the feedback controller agrees
well in terms of magnitude, but also in terms of eigenfrequen-
cies. Especially for the platform states, the model fidelity proves
to be sufficient to reliably predict the motion response in terms
of the PSD.

Differences between model and measurements are present
for the tower-top acceleration, the mooring line force and the ro-
tor speed and the blade-pitch response. Here, the main reasons
are expected to be uncertain model parameters like the anchor
position, the tower mass, stiffness and damping distribution (in-
cluding electrical cables). For the rotor speed and blade pitch
angle, the wind and aerodynamic model should be refined. Also,
a detailed identification of the drivetrain friction should be consi-
dered in future works. The uncertainty of the model parameters
and the wind field has not been quantified in this study. These
are necessary steps for future test campaigns.
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